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Eccentrically braced frame (EBF) is a highly effective seismic-resistant structural 

system when properly designed. However, permanent drift after design basis earthquakes 

may affect the structure’s continuous occupancy and induce very costly retrofit. To 

address the resilience issues, self-centering behavior is incorporated into EBF through 

post-tensioning to develop the self-centering eccentrically braced frame (SC-EBF) 

system. Post-tensioned connections are formed at the interfaces between rocking link 

beam and EBF beams using post-tensioned (PT) tendons. Gaps are allowed to open at 

these post-tensioned connections in strong earthquakes; and can be firmly closed under 

the re-centering force of the PT tendons. The columns, beams, braces, and the rocking 

link beam are designed to behave elastic under the design basis earthquake. Therefore, no 



 

 

 

 

residual drift is expected to occur in the SC-EBF system and damage is concentrated to 

replaceable fuse members. 

The proposed SC-EBF system provides a competitive design option in high seismic 

hazard regions with its self-centering behavior, stiffness and strength comparable to 

conventional EBF structural systems, and tunable energy dissipation capacity provided 

by conveniently replaceable fuse devices made of highly ductile AISI 316L stainless steel 

which are designed to utilize the large deformation in the SC-EBF systems for energy 

dissipation during strong earthquakes. It is observed that the ductility of the SC-EBF with 

short rocking link beam is generally lower than that of the SC-EBF with longer rocking 

link beam if the same PT tendon length is used for both cases. 

To take advantage of the SC-EBF systems with short rocking link beam and with 

long rocking link beam, a modified design of the SC-EBF with two parallel short rocking 

link beams is proposed. Nonlinear finite element analysis was conducted, showing that 

this type of SC-EBF system exhibits improved self-centering performance, strength, 

ductility, and energy dissipation behaviors. The fuse members are redesigned with simple 

configuration, ease of fabrication and installation.  
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Chapter 1 Introduction 

1.1. Introduction 

Growing needs and interests in structural damage control have facilitated the 

development and use of highly ductile replaceable fuse devices into fruition for seismic 

resilient structures, in which the main gravity carrying structural components would 

remain elastic during design basis earthquakes. Examples of such structural systems 

include concentrically braced frames (CBF) with buckling restrained braces and 

eccentrically braced frames (EBF) with replaceable link beams. EBFs combine the 

advantages of moment resisting frame (MRF) and CBF which provide high ductility and 

stiffness of the structures, and make them a very competitive seismic force resistant 

system to use in seismic active region. The other benefit of EBF versus CBF is the more 

flexible architectural design that allows for windows and openings. High ductility and 

stiffness of the EBFs are provided by the link beams between two braces or between 

brace and column. Link beams develop large plastic deformation and thus play sacrificial 

role to provide the required ductility and energy dissipation for the entire structure. 

Ductile seismic design traditionally relies on the plastic deformation of structural 

members at selected locations for seismic energy dissipation, which would inevitably 

cause permanent deformation in the structural system after a strong earthquake like 

design basis earthquake. For instance, residual drift is induced to the EBF system due to 

the severe plastic deformation of the link beam. Large residual drift not only compromise 

the aesthetic appearance of the affected structure and disrupt continuous occupancy, but 
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also requires financially costly retrofit work. Hence, development of high performance 

low-damage seismic resistant structure system that can concentrate the damage in 

replaceable fuse devices and remain damage free in primary gravity load carrying system 

is very appealing to addressing the need for resilient civil infrastructure.  

In line with the current research trend for seismic resilient structure, the concept of self-

centering eccentrically braced frames (SC-EBF) is examined in this study. Very few 

research has been done in the past on SC-EBF partly due to the high demand on link 

beam rotation, especially for short links. The SC-EBF systems under current 

investigation possess the same structural properties (i.e., stiffness and strength) compared 

to conventional EBF systems under low to moderate seismically induced lateral load, and 

have negligible residual drifts after the design basis earthquake. To cope with the large 

link rotation demand, replaceable fuse devices in the SC-EBF systems are made of highly 

ductile AISI 316L stainless steel and are carefully designed to accommodate the large 

deformations of the SC-EBF systems. Stainless steel is chosen here for the  fuse devices 

because of its high corrosion resistance and high strength and ductility, which permits the 

use of lighter sections to dissipate comparable amounts of seismic energy and thus easy 

to be replaced. Special configurations are conceived to tune the performance of fuse 

devices made of AISI 316L stainless steel, including circular hole perforations and slit 

perforations in the fuse web. 

Compared to conventional EBF systems, the SC-EBF systems are believed to outperform 

with the following advantages:  1) self-centering mechanism is introduced so that no or 
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little residual drift exists after the design basis earthquake; 2) damage in the structural 

system is concentrated to the fuse devices that can be inspected and replaced very easily. 

Other structural components are designed to remain elastic during a design basis 

earthquake; 3) the strength, stiffness, ductility and energy dissipation properties of the 

SC-EBF can be tuned with more flexibility than the conventional EBF. 

1.2. Research Motivation 

A comprehensive study has been performed on the behaviors of self-centering moment 

resisting frames (SC-MRF). The self-centering behavior of the one bay one story self-

centering moment resisting frame (SC-MRF) taken from the multi-story prototype 

structure was experimentally and analytically studied by many researchers (e.g., 

Christopoulos et al. 2002, Ricles et al. 2002, Garlock et al. 2007, and Kim and 

Christopoulos 2008), and design methods were also proposed for the design of the SC-

MRF systems (Garlock et al. 2007; Kim and Christopoulos 2009). However, MacRae and 

Clifton (2013) pointed out that the composite effect of the beam slab intersection would 

result in unacceptable column damage or slab damage. Moreover, in the multiple-story 

SC-MRF system, as the depth of girder sections were generally larger in the lower floors 

and smaller in the upper flowers, the girders in the upper floors tend to be pulled away 

from the column when columns were designed to be very rigid, which could result in 

serious problems such as the falling of the partial story. According to MacRae and 

Clifton (2013), the variation in gap opening values among different floor levels is related 

to the girder depth difference and varying inter-story drift ratio along building height. To 
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mitigate this problem, complex design has been proposed for floor and columns by 

MacRae and Clifton (2013).  

SC-EBF is proposed with the expectation of overcoming the above identified problems in 

the SC-MRF systems. Compared to the main girders in the SC-MRF systems, the rocking 

link beams in the SC-EBF systems are much shorter and can be designed to have the 

same depth along building height without significantly increasing the design budget, in 

order to eliminate the gap opening discrepancy at different floor levels. Furthermore, 

instead of providing special design for the entire floor slab and collector beams proposed 

for the SC-MRF systems, only the floor slab in the vicinity of the link beam needs special 

design in the SC-EBF, which substantially reduces the work for floor design and 

construction. However, currently only one research work (Cheng et al. 2012) is reported 

on investigating the behaviors of SC-EBF systems under seismic load, more research 

needs to be done to make this promising  SC-EBF systems a reality by providing 

knowledge base that could support design and construction for real-world adoption. 

On the other hand, the energy dissipation capacity of the self-centering structures is 

generally lower than the conventional seismic resistant structures (Seo and Sause 2005) 

due to their typical flag-shaped hysteresis and usually fuse devices are provided 

externally to ensure a minimum of 12.5% hysteretic energy dissipation ratio to prevent 

excessive ductility demands (Seo and Sause 2005). For the SC-EBF systems, as 

substantial rotation demand would occur at the link beam location, large deformation 

capacity is required for the installed fuse devices. The use of highly ductile materials 
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such as stainless steel is ideal for such fuse devices, because of its highly ductile 

deformation capacity up to 50% strain. Furthermore, to reduce the risk of fracture at the 

heat treatment zone due to welding, hot-rolled sections of stainless steel is preferred for 

fuse devices. To obtain particular stiffness and strength values of the fuse devices 

specified by the SC-EBF design, circular perforations or slit perforations can potentially 

be utilized to tune the properties of fuse devices. Similar approaches have been used by 

other researchers in modifying the link beam for conventional EBF design by Vian et al. 

(2009), Jacobsen et al. (2010), and Bhowmick et al. (2014). Along this line, the behaviors 

of stainless steel link beams with a variety of perforation patterns are examined in this 

study; nonlinear static analysis of a one-story SC-EBF frame equipped with fuse devices 

with circular perforations or slit perforations are conducted to demonstrate the seismic 

performance and the occurrence of different limit states. 

1.3. Research Objectives 

This dissertation pursues the following two objectives with an emphasis on establishing 

the design and knowledge base of a low-damage SC-EBF system with replaceable fuse 

devices specially designed for sustaining large deformation demand: 

1. The first objective is to develop stainless steel fuse links that can sustain large 

deformation demand as usually encountered in EBF. For this purpose, a highly ductile 

material – AISI 316L stainless steel is first identified and experimental test data verifies 

its suitability for use in the fuse link beam. Analytical expressions are formulated to 

quantify the link beam’s load-deformation behavior and validate the finite element model.  
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Four key parameters that characterize the load-deformation behaviors of AISI 316L 

stainless steel link beams are stiffness, strength, ductility, and energy dissipation capacity. 

To enable nonlinear finite element analysis, constitutive model is calibrated against 

experimental data from both monotonic and cyclic loading of stainless steel coupon.  To 

adjust the mechanical property of stainless steel fuse device, circular perforation or slit 

perforation is employed. Because low-cycle induced fatigue crack (i.e., ductile fracture) 

is viewed as an important failure model for the perforated or slit link beams, a micro-

mechanical fracture model termed void growth model is adopted here to determine the 

ductile fracture initiation point of the stainless steel link beams under monotonic or cyclic 

loading conditions. . To optimize the stainless steel fuse device configuration, stainless 

steel link beams with varying parameters values including length ratio, web perforation 

pattern, and lateral restraint type are investigated via the finite element analysis. 

2. The second objective is to investigate the nonlinear static behaviors of one-bay one-

story prototype SC-EBF frame equipped with replaceable stainless steel fuse devices 

through finite element analysis and to establish the performance goals of SC-EBF system 

under different load levels. A parametric study is conducted on the prototype SC-EBF 

frame with two types of link beams and varying post-tensioned (PT) strand area. 

Different designs of fuse devices are examined for use in the prototype SC-EBF frames. 

The effects of the control parameters in the SC-EBF design, including the PT strand area 

and initial PT stress, as well as link beam length, are quantified. Performance limit states 

are defined accordingly and analytical formulas to calculate the lateral force vs. 
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displacement relationship of the SC-EBF systems are derived and presented with the goal 

of facilitating future design of such SC-EBF systems. 

1.4. Organization of the Dissertation 

In this study, finite element simulations are conducted on various link beams made of 

different steel materials for their performance assessment. Experiments data from cyclic 

testing of full-scale cast steel link beams were used for validating the analytical formulas 

and finite element analysis results on the link beams’ behaviors. The behaviors of 

different designs of SC-EBF systems are studied through nonlinear static analysis of 

finite element models.   

Chapter 2 reviews previous research work on the material plasticity theory for 

characterizing the material strain hardening effect, micro-mechanical fracture models in 

predicting the low-cycle fatigue fracture, experiments conducted on A992 steel, cast steel, 

and A36 steel for monotonic and cyclic stress-strain relationship characterization, 

performance of various conventional and perforated steel plate shear walls and shear 

links, current research and achievements in SC-MRF systems, and pilot study on SC-EBF 

systems. 

Chapter 3 describes the material coupon tests conducted on AISI 316L stainless steel 

specimens to determine its mechanical properties. The AISI 316L stainless steel coupon 

specimens include standard tensile coupon bar for uniaxial tension test, specially 

designed short-gauge-length round bars for cyclic loading test, and circumferentially 
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notched round bars for both monotonic tension and cyclic loading tests. Plastic strain 

hardening models for AISI 316L stainless steel were calibrated against the experimental 

stress-strain data obtained from cyclic loading tests on short-gauge-length round bars. 

Micromechanics-based models were calibrated with the test results of the notched round 

bars. With reference to the results of the material coupon test conducted on A992 steel, 

cast steel, and A36 steel (Kaufmann 2001, Sun and Wang 2015), plastic strain hardening 

models are calibrated for these materials and presented in this chapter. 

Chapter 4 presents the finite element simulation results of conventional link beams made 

of A992 steel and AISI 316L stainless steel respectively. Four different designs of link 

beams with the varying link length e (e=1.3Mp/Vp) and section sizes are considered. 

Performances of conventional link beams are evaluated and analytical formulas are 

derived to predict the link beams’ behaviors. 

Chapter 5 presents the numerical study results on link beams with perforated web 

sections. Two types of web perforation methods are considered: perforated web sections 

with circular holes and perforated web sections with longitudinal slits. Ductile fracture 

initiation predicted by the micromechanics-based fracture model is viewed as one of the 

important failure modes of the perforated link beams. Factors affecting the perforated 

link beams’ behaviors are assessed, including perforated circular hole diameter, hole 

spacing, and stiffener spacing for the perforated link beams with circular holes, and slit 

length, slit width, and slit spacing for the perforated link beams with longitudinal slits. 

Theoretical expressions are derived to predict the behaviors of the link beams with 
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different perforation patterns. Experimental data from cyclic load test of perforated cast 

steel link beams are used to verify the accuracy of the proposed theoretical formulas as 

well as finite element analysis results. 

Chapter 6 involves finite element simulation study of one-bay one-story prototype SC-

EBF frames and target performance goals for SC-EBF design under different earthquake 

intensity levels. Two SC-EBF frame designs are considered. The first type of the SC-EBF 

system is modified from the SC-EBF frame studied by other researcher, which contains 

one rocking link beam in a K-type EBF configuration. The second type of the SC-EBF 

system is for comparison with the first one, which contains one rocking link beam in a D-

type EBF configuration. Specific designs of fuse devices are proposed for each type of 

the concerned SC-EBF systems. The main structural members of the SC-EBF frame are 

made of ASTM A992 steel while the fuse devices are made of AISI 316L stainless steel. 

Target performance goals are proposed for both types of SC-EBF systems on the basis of 

the analytical relations derived for predicting their behaviors under pushover load. 

Chapter 7 presents a different K-type SC-EBF system in that it has two parallel rocking 

link beams and the two link beams rotate in parallel with each other under the lateral load. 

Fuse devices are installed between its two rocking link beams. This type SC-EBF system 

is more ductile than the K-type SC-EBF system with short rocking link beam, and has 

higher initial stiffness and strength than the K-type SC-EBF system with long rocking 

link beam. 
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Chapter 8 presents the summaries and conclusions of this dissertation research, and 

suggestions for possible future research work. 
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Chapter 2 : Literature Review 

This chapter begins with introducing previous research in characterizing the constitutive 

relationship of stainless steel, followed by current research on structural steel shear links 

and steel plate shear walls. In the last section of this chapter, current research on self-

centering structures, including the advantages for seismic resistant structural systems and 

potential problems with the self-centering moment resisting frames (SC-MRF), self-

centering eccentrically braced frames (SC-EBF), self-centering reinforced concrete 

rocking walls, and self-centering concentrically braced frames (SC-CBF), is presented. 

2.1. Constitutive Modeling of Stainless Steel 

Ramberg and Osgood (1943) proposed the expression given in Equation 2-1 for 

characterizing the nonlinear stress-strain relationships of materials, where E0 is the 

material’s elastic modulus and K and N are constants. The most commonly used version 

of Ramberg-Osgood Equation for characterizing the stress-strain relationship of stainless 

steel is expressed in Equation 2-2, where σ0.2 is the stress value corresponding to 0.2% 

plastic strain and n is the calibrated material constant. The Ramberg-Osgood equation 

provides accurate prediction on the stress strain relationship of stainless steel up to σ0.2, 

while it significantly over-estimates the stress values beyond that level, which is revealed 

by the experiments conducted by Rasmussen (2003). The discrepancies between the 

stress-strain curve predicted by the Ramberg-Osgood equation and the stress-strain curve 

obtained from the experiment on AISI 304L stainless steel are plotted in Figure 2-1 

(Rasmussen 2003). 
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𝜀 =
𝜎

𝐸0
+ 𝐾 (

𝜎

𝐸0
)
𝑁

 

𝜀 =
𝜎

𝐸0
+ 0.002 (

𝜎

𝜎0.2
)
𝑛

 

Equation 2-1 

Equation 2-2 

Mirambell and Real (2000) modified the Ramberg-Osgood equation and proposed the 

expression for predicting the stress-strain relationship of stainless steel after the σ0.2 point. 

The stress-strain relation after the σ0.2 point suggested by Mirambell and Real (2000) is 

expressed in Equation 2-3. 

𝜀 =
𝜎 − 𝜎0.2
𝐸0.2

+ 𝜀𝑢 (
𝜎 − 𝜎0.2
𝜎𝑢 − 𝜎0.2

)
𝑚

+ 𝜀0.2 Equation 2-3 

Where εu is the plastic strain at ultimate strength; m is the strain hardening parameter; and 

E0.2 is the tangent stiffness at σ0.2. 

Rasmussen (2003) modified the Ramberg-Osgood model extended by Mirambell and 

Real (2000) and did tensile tests on a variety of stainless steel coupons to calibrate the 

material constants of the constitutive model for stainless steels. Based on the 

experimental results, different formulas were proposed by Rasmussen to determine the 

material coefficients in Equation 2-2 and Equation 2-3, which are expressed in Equation 

2-4. The mechanical properties determined by Rasmussen (2003) for several types of 

stainless steels are listed in Table 2-1. 

  



 

 

13 

 

𝑛 =
ln(20)
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𝑒 =
𝜎0.2
𝐸0

 

𝐸0.2 =
𝐸0

1 + 0.002𝑛/𝑒
 

𝑚 = 1 + 3.5
𝜎0.2
𝜎𝑢

 

Equation 2-4 

Ellis et al. (1977) performed monotonic and cyclic biaxial loading test on AISI 316 

stainless steel at room temperature. Ellis et al. (1977) concluded that the Von Mises yield 

criterion provides an accurate characterization of the AISI 316 stainless steel’s yield 

behavior while careful attention should be paid to the loading rate as significant time-

dependent deformations occurred during the hold periods at the constant stress level. 

Chaboche and Rousselier (1983) conducted cyclic strain-controlled test on AISI 316 

stainless steel coupon bars and verified that the yield surface was characterized by the 

Von Mises yield criterion; significant isotropic hardening effect was induced during 

cyclic loading; and the cyclic stress-strain curves varied with the strain rate and the mean 

strain level. The cyclic stress strain relationship obtained from the experiment conducted 

by Chaboche and Rousselier (1983) is plotted in Figure 2-2. 

2.2. Shear Link & Steel Plate Shear Wall Research 

2.2.1. Conventional Shear Link  

Hjelmstad and Popov (1983) performed experimental investigations on the inelastic 

behaviors of short wide-flange steel beams which were commonly used in EBFs. The 
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sections of the investigated shear links varied from W12x22 to W18x40. The investigated 

link beams were under increasing cyclic loading until failure occurred, such as severe 

web buckling or web fracture. Hjelmstad and Popov (1983) concluded that the 

unfavorable inelastic web buckling could be controlled by providing web stiffeners which 

substantially enhanced the shear links’ capability in energy dissipation.  

Malley and Popov (1984) conducted intensive experiments on W18x40 shear links with 

varying stiffener details, connection details, and loading histories and then developed the 

design procedure for shear links in the applications of EBFs. Recommendations were 

made on determining the appropriate EBF structural configurations, member sizes, link 

connection details, and web stiffener details. Kasai and Popov (1986) further investigated 

the cyclic web buckling control for shear link beams with varying section sizes and 

proposed a simplified equation that can be used to determine the proper spacing of web 

stiffeners for shear links. 

Richards and Uang (2006) performed a series of cyclic loading tests on W14 shear links 

under different loading protocols. The loading protocol in AISC Seismic Provisions 

(2002) was found to result in underestimation of the shear links’ inelastic rotation 

capacity. A modified cyclic testing protocol was proposed by Richards and Uang (2006) 

and is currently adopted by AISC Seismic Provisions (2010). 

Mansour et al. (2011) conducted a series of tests on replaceable links used in EBF 

systems and MRF systems. The replaceable links were bolted between the beams in the 
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EBF systems. It was found that the replaceable links exhibited behaviors similar to 

conventional welded links in the EBF systems (Mansour et al. 2011). 

2.2.2. Shear Links with Reduced Web sections 

Prinz and Richards (2009) performed nonlinear finite element analysis on a series of 

web-perforated 635 mm long W18x40 links with column connections and with varying 

hole alignment pattern and hole diameter under the cyclic loading protocol prescribed by 

AISC Seismic Provisions (2005). The stress modified critical strain (SMCS) criterion was 

adopted to determine the ultimate state which is the fracture initiation of the perforated 

links with column connections (Prinz and Richards 2009). The predicted ultimate link 

rotation was generally low (Prinz and Richards 2009), which was around 0.04 radians, as 

the SMCS model tends to over-estimate the cyclic stress triaxiality level of the materials 

(Kanvinde and Deierlein 2007) and the loading protocol in AISC Seismic Provision 

(2005) imposed higher ductility demands on shear links (Richards and Uang 2006). Prinz 

and Richards (2009) evaluated the plastic yield strength values of different perforated 

shear links and concluded that the strength deduction caused by web perforation was 

related to the web area perforation ratio. Furthermore, Prinz and Richards (2009) 

concluded that the perforated links exhibited a different failure mode from the 

imperforated ones. 

Henry et al. (2010) performed nonlinear finite element analysis and experimental 

validations on the slotted flexural plates, the flexural plates with holes, the J-shaped 

flexural plate, and the oval-shaped flexural plate which were made of structural steel and 
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used as the energy dissipation devices in the self-centering precast concrete walls. Fuse 

devices were installed between two adjacent precast concrete walls and dissipated energy 

once the concrete walls rocked relative to each other. The large relative deformations 

between the precast concrete walls imposed very high ductility demands for the fuse 

devices, and Henry et al. (2010) found that only the J-shaped flexural plate and the oval-

shaped flexural plate were capable of undergoing the required large deformations before 

failure. Hence the approach of tuning the strength and stiffness properties of link beams 

via web perforation appears to be less appealing in link beams made of ordinary 

structural steel.  

Tsavdaridis and D’Mello (2012) performed finite element analysis in search of the 

optimized design of perforated links with reduced web sections. Numerical simulations 

were performed to the link beams with standard and non-standard web opening shapes. 

Tsavdaridis and D’Mello (2012) found that the perforated links with vertical and inclined 

elliptical web openings (3:4 width to depth ratio) behaved more efficiently in energy 

dissipation than the perforated link beams with circular and hexagonal web openings. 

2.2.3. Steel Plate Shear Walls with Reduced Web Sections 

Perforated slits and perforated circular holes are two typical perforation patterns used in 

the perforated steel plate shear walls. The energy dissipation mechanisms were different 

for these two types of perforated shear walls. Vian et al. (2009) and Bhowmick et al. 

(2014) hypothesized that for the perforated shear walls with circular holes, the applied 

lateral load was resisted by the tension and compression forces developed along the paths 
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between the diagonally aligned holes. The imposed seismic energy was dissipated by the 

tension-compression behaviors of the web paths. Jacobsen et al. (2010) and Ke and Chen 

(2014) stated that the imposed seismic energy to the perforated structural steel shear 

walls with vertical slits was dissipated by the strips which were in between of the 

perforated slits and behaved as a series of flexural links. Jacobsen et al. (2010) performed 

experiments on the perforated structural steel shear walls with vertical slits under 

increasing cyclic displacement. The gradual peeling off of the paint near the ends of the 

perforated slits indicated that plastic hinges were formed at the strip ends and were 

expanding with the increasing of the applied load.  

Alavi and Nateghi (2013) conducted experiments and numerical simulations on three 

types of shear walls, including an un-stiffened imperforated shear wall, a stiffened 

imperforated shear wall, and a stiffened perforated shear wall with a circular opening in 

the center. The perforated shear wall was verified to possess adequate ductility and the 

analytical equation in predicting the strength of the perforated shear wall was proposed 

thereby (Alavi and Nateghi 2013).  

Further investigation on analytically predicting the shear strength of the perforated shear 

walls with circular holes were conducted by Vian et al. (2009) and Bhowmick et al. 

(2014). Based on the experiment results of the shear walls with various perforated hole 

diameter and spacing, Vian et al. (2009) performed linear regression on the experiment 

results of the strength ratios of the perforated shear walls to the imperforated shear walls 

versus the perforation characteristics and concluded that the shear strength values of the 



 

 

18 

 

perforated shear walls were proportionally reduced by the ratio of the perforated hole 

diameter to the hole spacing. The relationship between the strength ratio of the perforated 

shear wall to the conventional shear wall (Vyp_perf/Vyp) and the perforated hole diameter to 

spacing ratio (D/Sdiag) is plotted in Figure 2-3 (Vian et al. 2009). It is seen that within the 

D/Sdiag range between 0.2 and 0.7, a strong linear correlation is suggested between 

Vyp_perf/Vyp and D/Sdiag. 

Bhowmick et al. (2014) performed numerical investigations on the perforated shear walls 

with similar dimensions to the perforated shear walls investigated by Vian et al. (2009). 

Under the assumption that the tension ties which were developed in between of the 

diagonally aligned perforated circular holes provided the lateral load resistance of the 

perforated shear wall, Bhowmick et al. (2014) concluded that the strength of the 

perforated shear wall is linearly related to the ratio of the net length to the full length at 

the perforated section, which is essentially the same as the conclusion drawn by Vian et 

al. (2009). 

Koppal and Eatherton (2013) proposed a different perforation design for the perforated 

shear wall. Circular or hexagonal perforations were only made along the edges of the 

infill steel plate. High plastic strains were concentrated within the “butterfly” sections in 

between the perforated holes or hexagons while buckling is triggered within the center 

infill plate. The “butterfly” sections served as energy dissipation devices and the shear 

strength and lateral stiffness of the perforated shear wall were contributed from both the 

infill plate and the “butterfly” section. It was verified that this type of perforation design 
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also provided tunable properties of the perforated shear walls (Koppal and Eatherton 

2013). 

2.3. Research on Self-Centering Structures  

2.3.1. Self-Centering Moment Resisting Frame (SC-MRF) 

Seismic energy is expected to be dissipated by the plastic hinges formed at the beam ends 

in a conventional MRF, which causes permanent deformations at the beam ends and may 

lead to residual drift in the MRF under large loading. In the SC-MRF systems, beams are 

not welded or bolted to the columns; instead, the posttensioned (PT) strands compress the 

beams and columns to be in contact and form rigid connections between them. The SC-

MRF behaves exactly the same as the conventional MRF under low to moderate lateral 

load before gap opening. Under large lateral load, instead of allowing plastic 

deformations to form near the beam ends, all primary structural members in the SC-MRF 

systems remain elastic after gaps are formed between the beams and the columns. The 

post-gap-opening tangential lateral stiffness of the SC-MRF is provided by the force 

couple between the tension force within the PT strands and the compression force over 

the contact surface, which is tunable and is generally much lower than the SC-MRF’s 

elastic stiffness. Unlike the conventional MRF systems, gaps formed in the SC-MRFs are 

closed after the lateral load is reduced below a critical level and ideally since all 

structural components remain elastic during the loading process, no damage is induced to 

the SC-MRF system except for fuse members and no or very little residual drift would 

happen. 
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Comprehensive studies were conducted on investigating the behaviors of the SC-MRF 

systems. Ricles et al. (2002) developed a post-tensioned (PT) steel moment connection. 

In the PT steel moment connection, high strength steel strands were post-tensioned and 

aligned along the two web sides of the beams. Seat angles were bolted between the floor 

beams and columns to facilitate shear force transfer and serve as energy dissipaters. The 

test set up in the research conducted by Ricles et al. (2002) is plotted in Figure 2-4; and 

the experimental hysteresis loop at the maximum drift of 3% is plotted in Figure 2-5. As 

observed in Figure 2-5, the PT moment connection exhibited good stiffness, strength, and 

self-centering behavior. 

Rojas et al. (2004) performed numerical analysis on the behaviors of a six-story MRF 

with post-tensioned friction damped connections (PFDC-MRF) under different recorded 

earthquake ground motions. The seismic behaviors of the PFDC-MRF were compared 

with the seismic behaviors of the six-story special moment resisting frame with welded 

connections (FR-MRF). Rojas et al. (2004) observed that the maximum inter-story drifts 

of both types of MRFs were identical under each given earthquake ground motion record, 

yet the stabilized drift of the PFDC-MRF after the peak ground motion was much smaller, 

manifesting that the inelastic response and the permanent deformation were not involved. 

The comparison on the responses of the two types of MRFs under a given earthquake 

record is plotted in Figure 2-6. The research conducted by Rojas et al. (2004) further 

verified the advantages of self-centering MRFs. 
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Garlock et al. (2007) proposed design principle and design methodology for the 

designing of self-centering moment resisting frame (SC-MRF). The performance limit 

states of the SC-MRF were categorized into three classifications: performance that 

conforms to immediate occupancy (IO) level, performance that conform to the collapse 

prevention (CP) level but not IO level, and performance that does not conform to the CP 

level. Connection decompression and angle yielding were permitted at the IO level. 

Yielding of the collector beams, columns, and panel zones, fracture of the angles, and 

excessive drift beyond the IO limits were regarded as the performances conforming to the 

CP level but not IO level. While beam local buckling, PT strand yielding, and the 

excessive drift beyond the CP limits were regarded not conforming to the CP level. 

Garlock et al. (2007) conducted a nonlinear time history analysis on the prototype SC-

MRF designed with the proposed design procedure and verified that the design method 

provided conservative estimations on the internal forces within the SC-MRF and the 

maximum drift ratio.  

Kim and Christopoulos (2008) experimentally evaluated the behaviors of the post-

tensioned moment resisting connections. No residual drift was observed within the self-

centering limit. At the maximum considered earthquake level, which is beyond the self-

centering limit, plastic hinges were formed within the beam ends and the yielding of the 

prestress strands and buckling of the beams were prevented. The post-tensioned moment 

resisting connection under investigation exhibited stable and good energy dissipation 

capacity. 
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Although the beam/column assemblies without slabs exhibited very good self-centering 

behaviors during the experiments, deformation discontinuities and incompatibilities 

occurred when slabs were connected to the beams or multiple bays and stories were 

considered in a structure (MacRae and Clifton 2013). Generally the girders at the higher 

levels of the SC-MRF have smaller depth values than the girders in the lower levels. In 

the case when the columns are very rigid, the discontinuity in the gap opening distance 

occurs in the higher levels, which is shown in Figure 2-7. Furthermore, when the 

composite sections between the floor slabs and the beams are considered, as the floor 

slabs are far stiffer than the beams but the elastic deformations of the slabs are much 

smaller than the target gap opening distance, the deformation incompatibility occurs 

between the beams and slabs, leading to the excessive cracking of floor slabs, which is 

unacceptable in the damage resistant design; or the failure of the gap openings between 

the beams and columns, which further results in the damage of columns or beams, is also 

unacceptable in the damage resistant design. The slab cracking of the SC-MRF system 

composited with concrete slabs was observed from the test conducted by Clifton (2005), 

which is plotted in Figure 2-8. 

The deformation discontinuity shown in Figure 2-7 is equal to the girder depth difference 

times the drift ratio if the columns are assumed to be perfectly rigid. Hence changing all 

the girders to have the same depth would be the most effective approach in solving the 

deformation discontinuity problem. However, in the MRF design, as lower load is 

transferred from the girders at higher levels, these girders are sized with smaller sections 

for economic concerns. Typically the girders are long, so changing all the girders to have 
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the same depth would be uneconomical. MacRae and Clifton (2013) suggested columns 

at the higher levels being designed less laterally rigid so that the deformation 

discontinuity can be accommodated. However, this will complicate the design procedure 

for columns in the MRF. 

Regarding the floor slab cracking issue, MacRae and Clifton (2013) suggested two 

approaches in solving the deformation incompatibility problem between the floor slabs 

and beams in the seismic-resistant frames. The first option involves the disconnecting 

between the floor slabs and the collector beams in the gravity load-carrying frames, 

which is illustrated in Figure 2-9. The floor slabs are only connected to the seismic-

resistant frames and after the gap opening, the floor slabs move along with the seismic 

resistant frame. Since collector beams and the gravity frames are disconnected from the 

floor slabs, the movement of the floor slabs will not be restrained; hence floor slab 

cracking will not occur. Although this option seems attractive, the lateral force 

transferred within certain segments of the seismic resistant frames is substantially 

increased, which increases the strength demands of the seismic resistant frames. 

Furthermore, this option significantly complicates the construction process to make the 

floor slabs theoretically isolated from the gravity load-carrying frames and the collector 

beams, which is very difficult in the real implementation. For a real structure in the three-

dimensional space, the implementing of this method in two transverse directions becomes 

even more difficult.  
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The second option suggested by MacRae and Cliftion (2013) involves of the floor slabs 

being connected only to the gravity load-carrying frames. Shown in Figure 2-10, under 

the lateral load, the floor slabs act as diaphragms and first transfer the lateral load to the 

gravity load-carrying frames and then the gravity load-carrying frames transfer the lateral 

load to the seismic-resistant frames via the collector beams. Since the floor slabs are only 

connected to the gravity frames and the associated collector beams, the beam elongation 

due to gap opening at the seismic-resistant frames has little effect on the deformation of 

the floor slabs. However, the drawback of this option is also obvious. The lateral load 

transfer system from the floor slabs to the seismic-resistant frames is very complicated, 

and the successful operation of this lateral force transfer system and the gap opening at 

the seismic-resistant frames are highly dependent upon the stiffness of the collector 

beams. If the collector beams are too stiff, the deformation of the beams at the seismic-

resistant frames are significantly restrained, so gaps will not open between the beams and 

columns which results in column damage. On the contrary, if the collector beams are too 

flexible, then barely little lateral load can be transferred into the seismic-resistant frame 

and excessive lateral deformations will be induced to the floor slabs, i.e., the floor slabs 

have the tendency of flying out. Similarly, this design option imposes a significant 

challenge in the construction process to ensure the desired slip planes are achieved and 

becomes even more complicated in the two directions of the real structure.  
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2.3.2. Self-Centering Eccentrically Braced Frame (SC-EBF) 

As indicated in the first chapter, self-centering EBF (SC-EBF) systems are proposed to 

solve the problems identified in the SC-MRF systems. Similar to the SC-MRF systems, 

the SC-EBF systems possess the same stiffness and strength properties as conventional 

EBF systems before gap opening between the link beam and the beams. After gap 

opening is triggered, the stiffness of the SC-EBF is controlled by the link beam’s depth 

and the PT strand area, which is tunable and is generally much smaller than the elastic 

stiffness of the SC-EBF; hence the base shear in the SC-EBF is significantly reduced. 

The tension force in the PT strands provides the restoring force to re-center the structure. 

Similar to the SC-MRF systems, all major structural components (fuse members excluded) 

in the SC-EBF systems remain elastic during the cyclic loading process and no residual 

drift is induced under design load.  

The deformation discontinuity at higher levels and the deformation incompatibility 

between the floor slab and the seismic-resistant frames may also occur in SC-EBF 

systems; however, these problems can be solved at much lower cost in SC-EBF systems. 

In the SC-EBF systems, since the link beams are designed with large sections and are 

generally short, designing all the link beams to have the same height is economically 

acceptable, which completely diminishes the deformation discontinuity between different 

floor levels. Hence columns do not have to be specially designed to accommodate the 

deformation discontinuity. As the lateral force is primarily resisted by the braces in the 

SC-EBF systems, which is no different from the conventional EBF systems, conventional 
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construction procedure is still applicable to the SC-EBF systems to create composite 

sections between the floor slabs and the floor beams in the gravity load-carrying frames 

and seismic-resistant frames. The only change is to cut the floor slabs apart at the link 

beam sections of the seismic-resistant frames. In doing so, the lateral load transferring 

system is not interrupted and each separated floor slabs can move along with the floor 

beams in the seismic-resistant frames. 

Cheng et al. (2012) conducted an experimental investigation on a prototype self-centering 

eccentrically braced frames (SC-EBF) installed with friction energy dissipation devices. 

The post-tensioned joint connections are formed at the interfaces between the central link 

beam and the adjacent beams. The test setup for the prototype SC-EBF frame is plotted in 

Figure 2-11. The prototype SC-EBF frame has a span of 5.15 m and the height of 3.2 m. 

The length of the link beam is 2 m. The cross sections for the columns, link beam, floor 

beams, and braces are 400x400x13x21 mm, 400x200x8x13 mm, 600x200x11x17 mm, 

and 150x150x7x10 mm respectively. Two DSI 6808 Gr 270 prestress strands are post-

tensioned to 260 kN and aligned at the two sides of the floor beams. Cyclic loading 

applied to the prototype SC-EBF frame was measured by story drift ratio, which involved 

6 cycles of 0.25%, 0.5%, 0.75%, 4 cycles of 1%, and 2 cycles of 1.5% and 2.0%. 

The hysteresis pushover force displacement obtained from one test on the prototype SC-

EBF frame is plotted in Figure 2-12 (Cheng et al. 2012). Although the authors claimed 

that all structural members remained elastic during the experiment, it is clearly observed 

from the experimental hysteresis loop that very little energy was dissipated during the 
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cyclic loading process and the self-centering behavior was generally not achieved. 

Furthermore, the effective yield strength of the SC-EBF frame which is equal to the 

pushover force leading to imminent gap opening was not distinguishingly visible; and the 

elastic stiffness and the post-gap-opening stiffness of the prototype SC-EBF frame were 

very close, which were reflected by the experimental hysteresis loop. Based on the 

observation on Figure 2-12, it can be concluded that the section sizes of the SC-EBF 

frame were not properly selected, as the key performance parameters of the prototype 

SC-EBF, which are the elastic stiffness, the effective yield strength, and the post-gap-

opening stiffness, were not in agreement with common practice.  

This dissertation research is inspired by the numerical simulation process on the 

prototype SC-EBF investigated by Cheng et al. (2012). Finite element analysis was first 

conducted on the duplicate finite element model of the prototype SC-EBF investigated by 

Cheng et al. (2012) to identify the reasons for failing to achieve the self-centering 

behaviors of the SC-EBF prototype. The duplicate finite element model created by the 

author had identical beam, column, brace, and link beam section sizes as the prototype 

SC-EBF investigated by Cheng et al. (2012), yet the rocking link beam’s length was 

changed from 2 m to 1 m and the column height was slightly increased from 3.2 m to 

3.37 m. Based on the finite element analysis results from the duplicate model, the original 

rocking link beam was found to yield due to end bending moment during the cyclic 

loading process. As the rocking link beam’s end bending moment was even larger in the 

case of the Cheng’s prototype SC-EBF frame, it is concluded that the lack of self-

centering behavior in the experiment conducted by Cheng et al. (2012) was likely to be 
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caused by the yielding of the link beam, which was under-sized for such application. 

Moreover, compared to the initial tensile stress in the PT strands of the duplicate model 

was approximately 60% of the strand’s minimum yield stress, the initial tension stress in 

the PT strands adopted by Cheng et al. (2012) was very small. It was also observed in the 

duplicate model that the maximum Von Mises stress in the SC-EBF’s braces was close to 

the structural steel’s yield stress; hence the bracing section size should be enlarged. 

Therefore, further study is warranted on the SC-EBF system to facilitate the proper 

selection of the section sizes of the SC-EBF’s structural components, the size of the PT 

strands, the initial tension stress of the PT strands, and the suitable fuse devices. 

Numerical evaluation on the SC-EBF’s properties and the effects of its rocking link beam 

length and the PT strands’ area on the SC-EBF’s behaviors is presented in Chapter 6 of 

this dissertation. 

2.3.3. Other Types of Self-Centering Structures 

Self-centering behavior can also be achieved in a structure when the PT strands are post-

tensioned along the vertical members of the structure. The PT connections are formed 

between the column or wall bases and the structure’s foundation. Under the lateral load, 

gaps are formed between the column/wall bases and the foundation, which is achieved by 

the rocking of the entire structure. The structure’s self-weight or the post-tension force 

within the PT strands or tendons provides the re-centering mechanism. Fuse devices are 

typically installed between the segregated walls or between the column/wall bases and 

the foundation. This type of self-centering mechanism is frequently applied to precast 
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wall systems and concentrically braced frames (CBF), which is appealing in that both the 

structure’s self-weight and the provided compression force of the PT strands can support 

the self-centering behavior; hence the cost for anchoring PT strands can be saved for 

some low budget projects.  

Hu et al. (2012) performed numerical analysis on the seismic behavior of the reinforced 

concrete frame combined with self-centering hybrid wall. The schematics of the self-

centering wall are plotted in Figure 2-13. Hu et al. (2012) numerically verified the self-

centering behavior of the self-centering hybrid wall and concluded that the total area of 

the PT tendons and the yield strength of the base hysteretic dampers were the primary 

factors affecting the hysteresis behaviors of the self-centering hybrid wall. The 

applicability of utilizing the self-weight of the wall alone to achieve self-centering 

behavior was also verified by Hu et al. (2012). 

Seo and Sause (2005) researched the ductility properties of the self-centering precast 

concrete walls under seismic force. The self-centering precast wall systems investigated 

by Seo and Sause is plotted in Figure 2-14. Seo and Sause (2005) verified that self-

centering systems had larger ductility demands than conventional systems, and could be 

designed to have large ductility capacities with little post-earthquake damage. 

Sause et al. (2010) performed experimental studies on the self-centering concentrically 

braced frames (SC-CBF). The schematics of the investigated SC-CBF are plotted in 

Figure 2-15. The SC-CBF is designed to decompress at the base after the critical lateral 

pushover load is exceeded, which initiates the rigid body rotation (rocking) of the frame. 
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Vertically aligned post-tensioned steel tendons resist the uplift movement of the SC-CBF 

and provide the restoring force to re-center the system. The PT tendons elongate due to 

the uplifting of the structure, which results in the increasing of the post-tension force and 

provides the positive stiffness to the lateral force displacement behavior of the SC-CBF. 

The gradually occurring limit performance states for the SC-CBF are:  (1) the 

decompression of the column at one side of the SC-CBF, (2) the yielding of PT tendons, 

(3) the significant yielding of beams, columns, or braces of the SC-CBF, (4) failure of the 

beams, columns, or braces (Sause et al. 2010). Under the design objective that the 

structure conforms to the immediate occupancy (IO) performance level under the design 

base earthquake (DBE) and to the collapse prevention (CP) performance level under the 

maximum considered earthquake (MCE), the first limit performance state conforms to the 

IO performance level while the second and the third performance limit states conform to 

the CP performance level (Sause et al. 2010). Reflected by the experiment results, the 

self-centering behavior of the SC-CBF was experimentally achieved under the DBE level 

ground motions and MCE level ground motions (Sause et al. 2010). 
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Figure 2-1 Stress strain curves for AISI 304L stainless steel (Rasmussen 2003) 

 
Figure 2-2 Cyclic stress strain relationship for 316 stainless steel (Chaboche and Rousselier 1983) 
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Figure 2-3 Infill plate strength ratios (Vyp_perf/Vyp) versus perforation ratio (D/Sdiag) (Vian et al. 

2009) 

 
Figure 2-4 Post-tensioned connection test setup (Ricles et al. 2002) 
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Figure 2-5 Hysteresis force displacement relationship (Ricles et al. 2002) 

 
Figure 2-6 Frame response to the Chi-Chi maximum considered earthquake (Rojas et al. 2004) 

 
Figure 2-7 Gap opening effect on the two-story frame with stiff columns (MacRae 2010) 
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Figure 2-8 Slab damage in a post-tensioned beam subassembly (Clifton 2005) 

 
Figure 2-9 Floor slabs only connect to seismic frames (Lin et al. 2009) 

 
Figure 2-10 floor slabs only connect to gravity frame (Garlock 2009) 
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Figure 2-11 SC-EBF test setup (Cheng et al. 2012) 

 
Figure 2-12 Experiment hysteresis force displacement (Cheng et al. 2012) 
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Figure 2-13 Schematics of self-centering wall (Hu et al. 2012) 

 
Figure 2-14 Self-Centering precast concrete wall systems (Seo and Sause 2005) 
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Figure 2-15 Schematics of the SC-CBF system (Sause et al. 2010) 

Table 2-1 Material properties for different types of stainless steels (Rasmussen 2003) 

Alloy E0 (GPa) σ0.01 (MPa) σ0.2 (MPa) σu (MPa) εu e n m 

AISI 304 189 234 403.5 672.3 0.528 0.0021 5.88 3.1 

AISI 304L 195 245 428.8 702.5 0.51 0.0022 5.51 3.2 

AISI 316L 190 190 316.0 616.0 0.51 0.0017 5.88 2.8 

Duplex 2205 205 424 636.0 830.8 0.245 0.0031 7.70 3.7 

AISI 430 200 200 320.0 622.0 0.48 0.0016 6.37 2.8 

3Cr12 195 215 275.0 444.0 0.38 0.0014 12.2 3.2 
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Chapter 3 : Mechanical Characterization of AISI 316L Stainless Steel 

under Large Inelastic Strains 

This chapter presents the details of the experiments conducted on AISI 316L stainless 

steel (SS316L) test bars for characterizing its material characteristics and calibrating 

parameters for the plastic strain hardening model and the micromechanics-based fracture 

model. SS316L is selected for this study, which is an extra low carbon grade of 316 

stainless steel, and is widely used in the marine applications due to its even higher 

corrosion resistance. The chemical compositions of SS316L are listed in Table 3-1. The 

SS316L test specimens in this research include one standard tensile coupon, two specially 

designed short-gauge-length round bars, and three notched round bars. Cyclic finite 

element analysis (FEA) of the notched bar tests was conducted to provide inputs to 

calibrate the material parameters used in the micromechanics-based fracture models. The 

calibrated material parameters of SS316L include the Young’s modulus (E), yield stress 

(σy), ultimate stress (σu), plastic strain hardening parameters, void growth index (VGI), 

and decay parameter λ. The calibration results for the VGI and λ parameters are validated 

by repeating the calibration on A992 steel and comparing with the calibration results on 

Q345 steel (similar to ASTM A992 steel) by Liao et al. (2012). 

3.1. SS316L Experiment 

3.1.1. Specimen Description 

A total of 6 SS316L specimens were fabricated and tested in the Mechanics Test Center 

at Shanghai Jiaotong University in Shanghai, China in July 2014. MTS servo-hydraulic 
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controlled testing machine (see Figure 3-6-a) was used for cyclic testing and specimen 7-

1 while Zwick electrodynamic universal testing machine (see Figure 3-6-b) was used for 

monotonic loading test of specimen 3-1. Specimens were labeled with the notation “SS”, 

which denoted stainless steel; followed by a number ranging from 3 to 7, which 

represents the different types of tests; and ends with number 1 or 2, which identifies the 

specimen number in duplicate testing. All test specimens were machined from square-

section bars. The transition radius between the end and the middle test portion was set to 

be 30-mm for all test specimens. 

Specimen SS3-1 is a standard tensile coupon machined from a square-section bar 

measuring 305-mm long and 19-mm in section width in accordance with ASTM E8/E8M, 

which was used for the monotonic tension test. The geometric shape and dimensions of 

Specimen SS3-1 are plotted in Figure 3-1. Within the test portion, the specimen has a 

diameter of 9 mm and a length of 81 mm. Axial strain was measured during test by an 

extensometer with the gauge length of 45 mm. Extensometers were used for measuring 

the specimen deformation over the gauge length of the extensometer. For cyclic loading 

test of notched bars, MTS extensometer with a gauge length of 20 mm (Model #: 

632.27F-20, S/N: 10292042) was used. For all other cyclic loading tests, MTS 

extensometer with a gauge length of 10 mm (Model #: 632.13F-23, S/N: 10287834) was 

used. For specimen SS7-1, MTS extensometer with a gauge length of 50 mm (Model #: 

634.25F-24, S/N: 102921698) was used.  
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Specimen SS4-1 and SS4-2 were loaded cyclically under large inelastic strain.  Previous 

research on cyclic large inelastic strain test for ASTM A992 or Q345B steel manifested 

the lateral instability problem when large compression force was applied to the specimen 

(Wu et al. 2012, Dusicka et al. 2007, Shi et al. 2012). To allow for the accurate stress 

strain acquisition of the specimens during large inelastic strain amplitudes, the stainless 

steel specimens were designed with short gauge length on the basis of the research by Wu 

et al. (2012). The length for specimen SS4-1 and SS4-2 was 12 mm within the test 

section of a 12-mm diameter. Loading rate was intentionally made different for these two 

identical specimens, in order to check the loading rate effect on SS316L. Axial nominal 

strain was measured within the gauge length of 10 mm using an MTS extensometer 

(Model #: 632.13F-23). Section details of the specimens SS4-1 and SS4-2 are plotted in 

Figure 3-2. 

Specimen SS5-1 was a notched specimen used for cyclic loading test. As shown in Figure 

3-3, the length of SS5-1 was 70 mm within the test section of the diameter of 12.5 mm. 

The specimen was circumferentially notched with a notch radius of 1.5 mm and the 

diameter of the notched section was reduced to 6.25 mm. The notch radius was machined 

to a±0.1-mm tolerance. 

Specimen SS6-1 and SS7-1 were two identical notched specimens with a nominal notch 

radius of 6.25 mm. Specimen SS6-1 was used for cyclic loading test, while specimen 

SS7-1 was tested with monotonic tension loading protocol. Both specimens had the 

parallel length of 70 mm and the diameter of 12.5 mm at their test part. As shown in 
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Figure 3-4, the specimens were circumferentially notched at the center with a notch 

radius of 6.25 mm and the diameter of the notched section was reduced to 6.25 mm. The 

notch radius was machined to a ±0.1-mm tolerance. 

A general view of the stainless steel specimens is shown in Figure 3-5. 

3.1.2. Loading Protocol 

Loading protocol applied to each specimen was defined with the nominal strain measured 

within the extensometer gauge length, which was calculated by dividing the measured 

deformation within the gauge part by its initial length. 

For specimens SS3-1 and SS7-1, monotonic tension loading was applied until the 

specimen fracture. The specimen SS3-1 was first loaded to 11 kN under force control at a 

loading rate of 50 N/s and then loaded till fracture under displacement control at a 

loading rate of 3 mm/min. The test setup for specimen SS7-1 is shown in Figure 3-11-b.  

Loading protocol applied to specimens SS4-1 and SS4-2 were measured by the nominal 

strain amplitude within the gauge part, which included 5 cycles of ±0.03 strain, 5 cycles 

of ±0.06 strain, 5 cycles of ±0.09 strain, and 5 cycles of ±0.12 strain. The loading 

protocol for SS4-1 and SS4-2 is shown in Figure 3-7. The loading rate varied for the two 

specimens, which was 0.001 mm/mm/s for SS4-1 and 0.005 mm/mm/s for SS4-2 

respectively. Similarly, the cyclic loading applied to SS5-1 and SS6-1 were represented 

by the nominal strain within the gauge part, which was calculated as the ratio of the 

measured deformation to the initial gauge. The designated loading protocols for SS5-1 



 

 

42 

 

and SS6-1 are plotted in Figure 3-8 and Figure 3-9 respectively. The tests setup for SS5-1 

and SS6-1 are plotted in Figure 3-10 and Figure 3-11-a respectively. 

3.2. Test Results 

All stainless steel specimens were loaded till fracture. Instability was not observed in the 

specimens during cyclic loading. For specimen SS3-1, specimen was fractured under 

monotonic loading when the axial elongation reached 19.85 mm, and the corresponding 

load was 26.7 kN. For specimen SS4-1, failure occurred during the 16
th

 loading cycle 

when the measured deformation within the gauge part was -1.45 mm at the applied 

loading of 99.81 kN. For specimen SS4-2, failure occurred during the 16
th

 loading cycle 

when the axial deformation within the measured part was -1.03 mm at the applied load of 

110.6 kN. Specimen SS5-1 was fractured during the 3
rd

 loading cycle. When fracture 

occurred, the axial deformation and the applied load were 0.64 mm and 33.3 kN 

respectively. For specimen SS6-1, fracture was observed in the 9
th

 loading cycle, where 

the corresponding axial deformation and the applied force were 0.81 mm and 22.5 kN 

respectively. Specimen SS7-1 was fractured when the applied monotonic force reached 

20.0 kN. The failure deformation of SS7-1 when fracture occurred was 3.09 mm. A 

summary of the test results are listed in Table 3-2. 

3.3. Engineering Material Properties Determination 

The uniaxial tension test was performed on specimen SS3-1 in accordance with the 

requirements of ASTM E8/E8M. The modulus of elasticity E, the yield stress σy, and the 
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ultimate stress σu were determined from the uniaxial tension test on SS3-1. The data 

acquired from the uniaxial tension test included the test time, actuator displacement, force, 

axial nominal stress, and axial nominal strain. After fracture occurred, the diameter of the 

necked section was measured for true stress strain calculation. 

The axial engineering (nominal) stress and strain of SS3-1 were calculated according to 

Equation 3-1. 

𝜎𝑒𝑛𝑔 =
𝐹

𝐴0
 

𝜀𝑒𝑛𝑔 =
∆

𝐿0
 

Equation 3-1 

Where F is the applied tension force; A0 is the initial section area within the test part; Δ is 

the measured axial elongation within the gauge part; L0 is the gauge length.  

The axial engineering (nominal) stress strain relationship for specimen SS3-1 under 

monotonic tension force is plotted in Figure 3-12. The nominal yield stress σy was 

defined as the nominal axial stress corresponding to 0.2% inelastic strain, and the 

nominal ultimate stress σu was defined as the ratio of the maximum applied uniaxial 

tension force to the gauge part’s initial section area, which are also indicated in Figure 

3-12. Terms εy and εu are the axial strains corresponding to σy and σu. The Young’s 

modulus E of SS316L was calculated as the slope of the engineering stress strain curve’s 

linear portion. Detailed values of σy, εy, σu, εu, and E are listed in Table 3-3.  
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The engineering (nominal) stress strain relationship was then converted into true stress-

strain relationship for use in finite element analysis (FEA). On the basis of the nominal 

yield stress point and the nominal ultimate stress point, the engineering stress-strain curve 

was divided into three segments for the true stress strain calculation. Segment 1 was from 

the initial unloaded point to the nominal yield stress point. The nominal stress strain 

relationship for this segment should be linear elastic characterized by Hooke’s law. The 

second segment was from the nominal yield stress point to the nominal ultimate stress 

point. Plastic deformation was initiated after the nominal yield stress point. Within the 

stress range between the nominal yield stress and the nominal ultimate stress, it was 

hypothesized that the volume within the gauge part is unchanged with the initiated plastic 

deformation. The nominal stress strain values in segment 1 and segment 2 of the 

engineering stress strain curve were converted into true stress strain values based on 

Equation 3-2.  

𝜎𝑡𝑟𝑢𝑒 = 𝜎𝑒𝑛𝑔(1 + 𝜀𝑒𝑛𝑔) 

𝜀𝑡𝑟𝑢𝑒 = ln(1 + 𝜀𝑒𝑛𝑔) 

Equation 3-2 

The third segment in the nominal stress strain curve was from the nominal ultimate stress 

point to the failure point. Necking occurred after the nominal ultimate stress was reached 

and the cross section area at the necked section was considerably reduced during this 

loading process; i.e., the material volume no longer remains constant within the necked 

section. As the stress distribution within the necked section was no longer uniform, a 

linear relationship was assumed between the true stress strain corresponding to the 
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nominal ultimate stress strain and the true stress strain when the specimen fractured. The 

true stress-strain at the fracture point of the specimen was calculated based on Equation 

3-3. The converted true stress versus true strain relationship for specimen SS3-1 is plotted 

in Figure 3-13. 

𝜎𝑡𝑟𝑢𝑒
𝑓𝑟𝑎𝑐𝑡𝑢𝑟𝑒

=
𝐹𝑓𝑟𝑎𝑐𝑡𝑢𝑟𝑒

𝜋𝑑𝑓
2 4⁄

 

𝜀𝑡𝑟𝑢𝑒
𝑓𝑟𝑎𝑐𝑡𝑢𝑟𝑒

= ln [(
𝑑0
𝑑𝑓
)

2

] 

Equation 3-3 

Where Ffracture is the applied axial force when the specimen fracture is imminent to 

happen; d0 is the initial diameter of the specimen at the gauge part; df is the diameter of 

the fractured section. 

3.4. Plasticity Hardening Model 

To facilitate the numerical analysis of SS316L under large cyclic inelastic strain, 

plasticity hardening parameters were calibrated using the measured true stress-strain data 

for SS4-1 and SS4-2. As both specimens failed in the 16
th

 loading cycle, only the 

converted true stress-strain data from the first 15 loading cycles will be used for 

calibrating the strain hardening parameters of SS316L. The true plastic strain values were 

calculated from the converted true strain values via Equation 3-4. The true stress versus 

true plastic strain relationships for specimen SS4-1 and SS4-2 are plotted in Figure 3-14. 

𝜀𝑝_𝑡𝑟𝑢𝑒 = 𝜀𝑡𝑟𝑢𝑒 −
𝜎𝑡𝑟𝑢𝑒
𝐸

 Equation 3-4 
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Metallic materials exhibit strain hardening behaviors once the initial yield strength values 

are exceeded. For materials loaded at room temperature, rate-independent plasticity can 

be assumed (Chaboche and Rousselier 1983), i.e., plastic strains are assumed to be 

developed instantly. The following five types of strain hardening models for 

characterizing material’s stress strain relationship after yielding are frequently used and 

are also available in most commercial FEA software packages including ANSYS: 

Bilinear Isotropic Hardening (BISO) Model; Bilinear Kinematic Hardening (BKIN) 

Model; Nonlinear Isotropic Hardening (NLISO) Model; Nonlinear Kinematic Hardening 

(Chaboche) Model; Combination of NLISO and Chaboche Model (Chaboche 2008).  

Isotropic hardening example: BISO Model 

BISO model involves the use of the Von Mises yield criterion and isotropic work 

hardening assumption for characterizing the yield surface changes (Lee et al. 2009). The 

evolution of the yield surface change is illustrated in Figure 3-15. Reflected in the 

uniaxial tension test, the axial stress increment is linearly proportional to the axial plastic 

strain increment. The size of the yield surface is represented by the instantaneous yield 

stress σ’y. The yield surface characterized by BISO is expressed in Equation 3-5. 

𝑓(𝜎) = √
3

2
𝒔: 𝒔 = 𝜎𝑦

′  Equation 3-5 

Where s is the deviatoric stress tensor; σ
’
y is the instantaneous yield stress; and f(σ) 

represents the yield surface. 
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Although the BISO model can be used to characterize the monotonic behaviors of 

materials with adequate accuracy, it significantly over-estimates the stress increment of 

materials under cyclic loadings (Muransky et al. 2012).  

Kinematic hardening example: BKIN Model 

The linear kinematic hardening rule was first introduced by Prager (1956). Bauschinger 

effect is included in the BKIN model, in which the total stress range is presumed to be 

equal to twice of the material’s initial yield stress. BKIN model characterizes the 

subsequent translational movement of the yield surface, and the size of the yield surface 

is assumed unchanged (Lee et al. 2009). Reflected in the uniaxial tension test, the back 

stress is linearly increasing with the plastic strain. The yield surface change characterized 

by the BKIN model is plotted in Figure 3-16. The definition of the yield surface 

characterized by the BKIN model is expressed in Equation 3-6. 

𝑓(𝜎 − 𝛼) = √
3

2
(𝒔 − 𝒂): (𝒔 − 𝒂) = 𝜎𝑦 Equation 3-6 

Where f(σ-α) is the equivalent Von Mises stress potential with respect to the back stress α; 

a is the deviatoric back stress tensor; σy is the size of the yield surface, which is equal to 

the material’s initial yield stress. 

The relationship between the back stress tensor a and the plastic strain tensor ɛp 

characterized by BKIN model is expressed in Equation 3-7. 
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𝑑𝒂 = 𝐶 ∙ 𝑑𝜺𝒑 Equation 3-7 

Where C is the kinematic hardening modulus specified in the BKIN model. Although the 

BKIN model can simulate the cyclic stress strain behaviors of materials at large plastic 

strain levels with adequate accuracy, its prediction of the nonlinear stress strain transition 

curve at low plastic strain levels is less accurate.  

NLISO Model 

The NLISO model is proposed to overcome the limitations of the BISO model. The 

NLISO model is based on the Voce hardening law (Chaboche 1989). Reflected in the 

uniaxial tension test, the isotropic stress increment with respect to accumulated plastic 

strain characterized by the NLISO model is expressed in Equation 3-8: 

𝜎0 = 𝑘 + 𝑅0𝜀𝑝̂ + 𝑅∞(1 − 𝑒
−𝑏𝜀̂𝑝) Equation 3-8 

Where: σ0 represents the size of the yield surface; k is the elastic limit; R0, R∞, and b are 

material-related constants; 𝜀𝑝̂ represents the accumulated plastic strain. The nonlinear 

term associated with 𝜀𝑝̂ is introduced to redress the over-estimation of stress increment 

predicted by the BISO model. 

Chaboche Model 

The Chaboche model also incorporates the Bauschinger effect in characterizing the yield 

surface evolution of a material which is similar to the BKIN model, and it also provides 
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the refined characterization of the nonlinear stress strain transition curve at low plastic 

strain levels. The back stress tensor characterized by the Chaboche model is expressed in 

Equation 3-9 (Chaboche 1989): 

𝛼̇ = ∑𝜶𝒊̇

𝑛

𝑖=1

=
2

3
∑𝐶𝑖𝜺̇𝒑

𝑛

𝑖=1

− 𝛾𝑖𝜶𝒊𝜆̇ Equation 3-9 

Where n is the number of nonlinear kinematic models; γi and Ci are material parameters 

in each nonlinear kinematic model; 𝜆̇ is the accumulated plastic strain rate. 

Combined Model of NLISO and Chaboche 

Generally for most metallic materials, the change of the yield surface involves of both 

translational position change and surface size expansion. The combined model is 

described by the theory of Von Mises yield condition, the associated flow rule, and 

isotropic-kinematic hardening. The stress strain relationship after initial yielding of the 

material is characterized in Equation 3-10 (Khan and Huang 1995): 

𝜶̇ = 𝐶𝜀̇𝑝
1

𝜎0
(𝝈 − 𝜶) − 𝛾𝜶𝜀̇𝑝 Equation 3-10 

Where: 𝜶̇ is the rate on the back stress tensor; 𝜎0 is the yield surface size characterized in 

Equation 3-8; C and γ are material constants stated in Equation 3-9; 𝜀̇𝑝 is the equivalent 

plastic strain rate. 
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Based on the research conducted by Chaboche and Rousselier (1983), the combined 

strain hardening model which accounts for both the isotropic hardening effect and the 

kinematic hardening effect should be utilized for characterizing the stress-strain 

relationship of stainless steel after initial yielding. The material’s yield condition is 

hypothesized to follow the Von-Mises yield condition, i.e., the yielding occurs when the 

distortional strain energy of a unit volume equals to its distortional strain energy when it 

is uniaxially loaded to yield. The Von-Mises yield condition can be represented by the 

plastic potential f, which is a parameter defined by Equation 3-11. Term f is equal to zero 

when the material yields, or less than zero if the material remains elastic.  

𝑓 =
1

2
(𝜎⃗𝐷)𝑇 ∙ 𝜎⃗𝐷 − 𝜎𝑌

2 Equation 3-11 

Where σY is the instantaneous yield stress value; 𝜎⃗𝐷 is the 9x1 deviatoric stress tensor. 

Each of its elements 𝜎𝑖𝑗
𝐷 is calculated as shown in Equation 3-12. 

𝜎𝑖𝑗
𝐷 = 𝜎𝑖𝑗 −

1

3
𝜎𝑖𝑗𝛿𝑖𝑗 Equation 3-12 

Where σij represents each of the 9 components from the Cauchy stress tensor; δij is the 

Kronecher Delta taking the value of 1 when i equals to j or otherwise the value of 0. 

The combined hardening model which consists of the NLISO model and Chaboche 

model is adopted in this study for characterizing the plastic strain hardening properties of 

SS316L. For improved accuracy, a total of three Chaboche models were superimposed in 



 

 

51 

 

the combined hardening model. The stress-strain relationship of SS4-1 and SS4-2 which 

is characterized by the combined strain hardening model is expressed in Equation 3-13. 

𝜎 = {
𝜒 + (𝑅 + 𝑘)𝑠𝑔𝑛(𝜎 − 𝜒) for 𝑓 = 0
𝐸(𝜀 − 𝜀𝑝) for 𝑓 < 0

 Equation 3-13 

where χ is the back stress characterized by the Chaboche model, which is expressed in 

Equation 3-14; R is the yield stress increment characterized by the NLISO model, as 

expressed in Equation 3-15. Term k is the calibrated yield stress. 

𝜒 =∑
𝐶𝑖
𝛾𝑖

3

𝑖=1

(1 − 𝑒−𝛾𝑖𝜀𝑝) Equation 3-14 

𝑅 = 𝑅0𝜀𝑝̂ + 𝑅∞(1 − 𝑒
−𝑏𝜀̂𝑝) Equation 3-15 

Terms Ci, γi, k, R0, R∞, and b are the calibrated material-related constants. Terms 𝜀𝑝 and 

𝜀𝑝̂ denote plastic strain and accumulated plastic strain values respectively. Values for the 

calibrated constants based on the cyclic test results are shown in Table 3-4 for ASTM 

316L stainless steel. 

FEA was conducted in ANSYS Academic 15.0 for validating the accuracy of the 

calibrated plasticity hardening model. The stress-strain relationships obtained from the 

FEA were compared with the experimental true stress-strain curves of SS4-1 and SS4-2, 

which is shown in Figure 3-17. 
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3.5 Void Growth Model (VGM) and Parameter Calibration 

Based on the research work by Anderson (1995), the mechanism of the mechanical 

fracture initiation of structural steels involves the process of void nucleation, void growth, 

and void coalescence. Research conducted by McClintock (1968), Rice and Tracey 

(1969), and Kanvinde and Deierlein (2004) suggested that void growth was related to the 

equivalent plastic strain and the stress triaxiality, which is the ratio of the hydrostatic 

stress to the Von Mises stress.  

Research conducted by Rice and Tarcey (1969) suggested that ductile fracture initiated 

when the void growth index (VGI) exceeded the critical value VGIcritical within the critical 

volume. This relationship was captured in the void growth model (VGM) proposed by 

Kanvinde and Deierlein (2006), which is expressed in Equation 3-16. The ductile fracture 

initiation is corresponding to the macroscopic phenomenon, reflected by a significant 

drop of the material’s load carrying capacity during the uniaxial tension test. 

𝑉𝐺𝐼 = ∫ exp (1.5
𝜎𝑚
𝜎𝑒
)𝑑𝜀𝑝

𝜀𝑝
𝑐𝑟𝑖𝑡𝑖𝑐𝑎𝑙

0

> 𝑉𝐺𝐼𝑐𝑟𝑖𝑡𝑖𝑐𝑎𝑙 𝑜𝑣𝑒𝑟 𝑟 > 𝑙∗ Equation 3-16 

where σm and σe are the hydrostatic stress and Von Mises stress respectively; εp
critical

 is 

the critical equivalent plastic strain corresponding to the failure deformation.  

Finite element analysis of specimen SS7-1 was performed to determine the VGIcritical of 

SS316L, as σm, σe, and εp cannot be directly measured from the experiment on SS7-1. An 

axisymmetric model representing the test segment of specimen SS7-1 was built in the 
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ANSYS Academic 15.0, as shown in Figure 3-18. Plane 182 element which was assigned 

with axisymmetric behavior was used for the finite element model of the notched test bar 

specimen. The calibrated strain hardening parameter values of SS316L in Table 3-4 were 

applied to the finite element model. Only the test part was simulated in FEA, as 

negligible elastic deformations occurred within the rest parts of the specimen during the 

test. Meshing was refined at the notched section, as shown in Figure 3-18. The size of the 

elements within the notched section was approximately 0.2 mm. The finite element 

model was loaded axially until the failure deformation was reached at 3.09 mm.  

Validation of the calibrated VGM parameters for SS316L was done by comparing the 

FEA-derived force-displacement curve with the experimental force-displacement data 

from SS7-1, as shown in Figure 3-19. A good agreement was generally observed. At the 

failure deformation, the equivalent plastic strain, Von Mises stress, hydrostatic stress, 1
st
 

principal stress, 2
nd

 principal stress, and 3
rd

 principal stress contours were plotted in 

Figure 3-20 through Figure 3-25, which is used to determine the critical fracture initiation 

location. Reflected by the stress and strain intensities in Figure 3-20 and Figure 3-21, it 

can be concluded that fracture initiates at the center of the notched section. 

The stress strain results from FEA in the entire loading history till the failure deformation 

of 3.09 mm was reached were substituted into Equation 3-16 to calculate the critical void 

growth index (VGIcritical) for SS316L, which was determined as 2.50. 
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3.6. Cyclic Void Growth Model (CVGM) and Parameter Calibration 

Kanvinde and Deierlein (2007) extended the void growth model (VGM) to the cyclic 

void growth model (CVGM) in order to model the ductile fracture of materials under 

cyclic loading. In CVGM, a macroscopic crack initiates via microscopic void coalescence 

when the cyclic void growth index exceeds the critical cyclic void growth index value. 

The tension loading cycles and compression loading cycles have opposite effects on the 

cyclic void growth index (CVGI). Under tension loading cycles, the voids nucleate and 

grow, which is reflected as the increasing of the CVGI value. On the other hand, during 

the compression loading cycles, the voids are squeezed and the nucleated voids could 

even close. This is analogous to a “healing” process for the void growth and is reflected 

as the decreasing of CVGI (CVGI can be decreased up to zero which means all voids are 

closed). However, the void tips become sharper during the applied compression loading 

cycles, rendering the material more susceptible to cracking. This effect is reflected by the 

degradation of the critical cyclic void growth index (CVGIcritical). The degradation 

process of the cyclic void growth index is assumed to follow the exponential decay 

function which is only related to the accumulated plastic strains during the compression 

loading cycles. 

The CVGM criterion in predicting the fracture initiation of materials under cyclic loading 

is expressed in Equation 3-17. 
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𝐶𝑉𝐺𝐼 = ∑ ∫ exp(|1.5𝑇|) 𝑑𝜀𝑝

𝜀2

𝜀1𝑡𝑒𝑛𝑠𝑖𝑙𝑒 𝑐𝑦𝑐𝑙𝑒𝑠

− ∑ ∫ exp(|1.5𝑇|) 𝑑𝜀𝑝

𝜀2

𝜀1𝑐𝑜𝑚𝑝𝑟𝑒𝑠𝑠𝑖𝑣𝑒 𝑐𝑦𝑐𝑙𝑒𝑠

> 𝐶𝑉𝐺𝐼𝑐𝑟𝑖𝑡𝑖𝑐𝑎𝑙 = 𝑉𝐺𝐼𝑐𝑟𝑖𝑡𝑖𝑐𝑎𝑙 ∙ exp (−𝜆𝜀𝑝
𝑎𝑐𝑐𝑢𝑚𝑢𝑙𝑎𝑡𝑒𝑑) 

Equation 

3-17 

Where 𝜆 is the decay parameter to be calibrated; 𝜀𝑝
𝑎𝑐𝑐𝑢𝑚𝑢𝑙𝑎𝑡𝑒𝑑  is the equivalent plastic 

strain that has accumulated up to the beginning of each tension loading cycle. 

The decay parameter λ is the additional parameter to be calibrated for the CVGM. The 

calibration of λ involves a two-step process. The first step is to determine the CVGI when 

fracture initiates, which is calculated from the left side of Equation 3-17. The integral is 

computed up to the failure deformation in the cyclic loading history, which corresponds 

to the sudden load capacity drop in the force displacement hysteresis curve. The second 

step is to determine the decay parameter λ using Equation 3-17. 

Analogous to the determination of VGIcritical, the calculation of CVGI has to involve finite 

element analysis of the notched specimens. Axisymmetric models were built in ANSYS 

Academic 15.0 for specimens SS5-1 and SS6-1, as shown in Figure 3-26 and Figure 3-18 

respectively. Meshing was refined within the notched section. The element size within 

the notched section was approximately 0.2 mm.  

The accuracies of the finite element models (FEM) for SS5-1 and SS6-1 are verified by 

comparing the experimental force-displacement curves with the FEA-derived ones. As 

shown in Figure 3-27 and Figure 3-28, a good agreement is generally observed for 
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specimens SS5-1 and SS6-1. Therefore, the decay parameter λ for SS316L stainless steel 

was determined to be 0.50. 

3.7. Characteristics Length l
*
  

Both the VGM and CVGM criteria must be satisfied within the critical volume, which is 

represented by the characteristics length l
*
. Various methods were proposed to determine 

l
*
. Panontin and Sheppard (1995) suggested to correlate the steel grain size with l

*
; 

Ritchie et al. (1979), Panontin (1995), and Chi (2000) suggested correlating l
*
 with the 

inclusion spacing (the distance between two coalescing voids) and dimple diameter (the 

diameter of the coalesced void); Beremin (1981), McMeeking (1977), and Norris et al. 

(1978) suggested to back-calculate l
*
 from the FEA on the experiments for the specimens 

with sharp crack tips; Hancock and Mackenzie (1977) suggested to directly measure the 

distance between two coalesced voids and to take the average as l
*
. Compared to other 

methods, the method proposed by Hancock and Mackenzie (1977) was straight forward 

and involved no assumptions in determining l
*
. The characteristic length l

* 
was directly 

related to physical events (material fracture). Therefore, the method proposed by 

Hancock and Mackenzie (1977) was adopted in this study for determining the 

characteristic length of SS316L. 

Fractographs of the fracture surface of specimen SS7-1 was taken using scanning electron 

microscope (SEM) in order to measure the characteristics length l
*
. The SEM fractograph 

was taken using the equipment at the Shanghai Institute of Ceramics, Chinese Academy 

of Sciences. The fracture surface of SS7-1 is shown in Figure 3-29. Characteristic length 
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measurement is indicated in Figure 3-30 from the magnified fracture surface of SS7-1. 

The average value of the characteristic length l
*
 for SS316L was calculated as 85.5 μm. 

3.8. Model Validation of VGM and CVGM for Q345 Steel 

The VGM and CVGM were also calibrated for Q345 steel based on the notched bar test 

results by Liao et al. (2012), which followed the same procedure as that adopted for 

calibrating the VGM and CVGM of SS316L. The calibrated VGM and CVGM results of 

Q345 steel were then compared with the calibration results by Liao et al. (2012). The 

calibrated results for Q345 steel were expected to be close, which serves to validate the 

computation process for the VGM and CVGM parameter calibration. 

Validation tests on VGM calibration were repeated on specimen 4-1 (notch radius=1.5 

mm) and specimen 16-1 (notch radius=6.25 mm) which were selected from the 

experimental tests by Liao et al. (2012). The plasticity hardening parameter values for 

Q345 steel were calibrated using the cyclic tension test results by Liao et al. (2012). The 

NOTCHED bars used by Liao et al. (2012) were designed with the same dimensions as 

the stainless steel NOTCHED bars used in this research; hence the finite element models 

for specimens 4-1 and 16-1 were established in the same way as the ones shown in Figure 

3-26 and Figure 3-18. Comparison was made between the force-displacement curve from 

the FEA conducted by the author and the experimental force-displacement curve from 

Liao et al. (2012), as shown in Figure 3-31 and Figure 3-32 for specimen 4-1 and 16-1 

respectively. It can be observed that generally the force displacement curves obtained 
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from FEA agree well with the experimental force-displacement curves from Liao et al. 

(2012). 

The critical void growth index (VGIcritical) for Q345 steel was determined using Equation 

3-16, where σm, σe, and εp were obtained from FEA and the critical equivalent plastic 

strain at fracture initiation corresponds to the failure deformation, which was determined 

from the experiment data of specimens 4-1 and 16-1 (Liao et al. 2012). The critical void 

growth index was determined as 3.11 for specimen 4-1; and 3.54 for specimen 16-1. 

Validation tests on CVGM calibration were repeated on specimen 9-1 (notch radius=1.5 

mm), 18-1 (notch radius=6.25 mm), and specimen 20-1 (notch radius=6.25 mm) from the 

research conducted by Liao et al. (2012). Similar to the determination of VGIcritical, finite 

element models were built in ANSYS Academic 15.0 for the selected specimens. The 

meshed model of specimen 9-1 had the same dimensions as the specimen SS5-1 in this 

research, which is plotted in Figure 3-26. Simultaneously, the meshed model of 

specimens 18-1 and 20-1 had the same dimensions as the specimen SS6-1 in this research, 

which is plotted in Figure 3-18. Comparisons between the force displacement 

relationships for specimens 9-1, 18-1, and 20-1 obtained from the FEA conducted in this 

study and the experiments performed by Liao et al. (2012) are plotted in Figure 3-33 

through Figure 3-35. It can be observed that generally the force displacement 

relationships obtained from FEM agree well with the experimental force displacement 

relationship from Liao et al. (2012). 
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The decay parameter (λ) for Q345 steel was determined using Equation 3-17, where σm, 

σe, and εp were obtained from FEA and the critical equivalent plastic strain at fracture 

initiation corresponds to the displacement at which the load carrying capacity dropped 

abruptly, which was determined from the experiments on specimens 9-1, 18-1, and 20-1 

conducted by Liao et al. (2012) respectively, shown in Figure 3-33 through Figure 3-35. 

The decay parameter was determined as 0.38 using the regression method. 

Kanvinde and Deierlein (2006, 2007) calibrated the VGM and λ for A992 steel, which 

has its mechanical properties similar to Q345 steel. For comparison purpose, the results 

of VGIcritical and λ on A992 steel calibrated by Kanvinde and Deierlein, on Q345 steel 

calibrated by Liao et al. (2012), and on Q345 steel calibrated in this study are listed in 

Table 3-5. It is seen that the calibrated parameter values from this study are closer to the 

results obtained from Kanvinde and Deierlein, yet higher than the numbers given by Liao 

et al.  
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Figure 3-1 Geometric dimensions of SS3-1 (unit: mm) 

 
Figure 3-2 Geometric dimensions of SS4-1 and SS4-2 (unit: mm) 

 
Figure 3-3 Geometric dimensions of SS5-1 (unit: mm) 

 
Figure 3-4 Geometric dimensions of SS6-1 (unit: mm) 
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Figure 3-5 General view of the SS316L specimens 
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Figure 3-6 (a) MTS servo-hydraulic test machine for cyclic loading test; (b) Test setup for 

specimen SS3-1 under monotonic loading with Zwick Z100 universal testing machine 



 

 

63 

 

 
Figure 3-7 Loading protocol for specimen SS4-1 and SS4-2 

 
Figure 3-8 Loading protocol for specimen SS5-1 
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Figure 3-9 Loading protocol for specimen SS6-1 

 
Figure 3-10 Test set up for specimen SS5-1 under cyclic loading 
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Figure 3-11 Test setup for specimens: (a) SS6-1 under cyclic loading; (b) SS7-1 under monotonic 

loading 

 
Figure 3-12 Engineering (nominal) stress strain relationship for AISI 316L stainless steel (SS7-1) 
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Figure 3-13 True stress strain relationship for AISI 316L stainless steel 

 
Figure 3-14 True stress versus true plastic strain for AISI 316L stainless steel 
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Figure 3-15 Isotropic yield surface evolution 

 
Figure 3-16 Kinematic yield surface evolution 
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Figure 3-17 AISI 316L plastic strain hardening properties validation 

 
Figure 3-18 Finite element model establishment for SS6-1 and SS7-1 

-0.1 -0.05 0 0.05 0.1 0.15
-1500

-1000

-500

0

500

1000

1500

True Plastic Strain (mm/mm)

T
ru

e
 S

tr
e
s
s
 (

M
P

a
)

 

 

FEM Simulation

SS4-1 Experiment

SS4-2 Experiment

A
xial Sym

m
etric B

o
u

n
d

ary

fixed in UY

r=6.25 mm



69

Figure 3-19 Force deformation relationship of NOTCHED specimen SS7-1

Figure 3-20 Equivalent plastic strain of SS7-1 at fracture initiation
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